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Model-Based Method of Theoretical
Design Analysis of a Loop Heat Pipe

Masao Furukawa∗

Japan Aerospace Exploration Agency, Tsukuba 305-8505, Japan

Mathematical models accepted so far for loop heat pipes (LHPs) are mentioned, with a brief account of the
operating characteristics. The necessity of an analytical model formed in a consistent way is stressed from the
viewpoint of design practices. An ordinary differential equation, expressing the heat and mass transfer in a thick-
walled porous cylinder, is solved to give a radial temperature distribution of the cylindrical wick, from which the
outside-to-inside wick diameter ratio is derived. This ratio depends on the number of transfer units and is finally
expressed in terms of the evaporator temperature effectiveness, which serves as a performance index. Positive-
powered expressions, including the specified critical Bond number and specified linear pressure loss gradients, are
then given to determine the wick inside, vapor line, and liquid line diameters. A pressure-loss model, consisting of
theoretically or empirically obtained practical expressions, is presented to specify the wick pore radius. Derived
expressions for the wick permeability and conductivity are combined to find an optimal wick porosity. The degree
of subcooling, determined from the heat leak and the heat loss or gain, is given in a binominal expression dependent
on the heat load, operating temperature, ambient temperature, and modeled coupling conductances. That degree is
then converted into the pump efficiency, serving as another performance index. A reasonable method for reservoir
sizing is proposed, considering both hot and cold startups. A two-region model representing the surface activity
of a condensing radiator is introduced to determine the condenser/subcooler tube diameter, the total tube length,
and the radiator half feeder spacing. All the expressions are arranged to develop into an LHP design code of
convenience. Results of numerical computations done over a possibly wide range of parameters are graphically
shown in the figures with a view to offering LHP design curves of interest.

Nomenclature
A = area, m2

Bo = Bond number
c = constant
cp = specific heat at constant pressure, J/kg · K
D = diameter, m
F = two-phase heat transfer coefficient multiplier
Fr = Froude number
f = factor
g = gravitational acceleration, 9.80665 m/s2

h = heat transfer coefficient, W/m2 · K
K = thermal conductance, W/K
K p = permeability, m2

k = thermal conductivity, W/m · K
L = length, m
M = mass, kg
Ma = Mach number
m = specific mass, kg/m
ṁ = mass flow rate, kg/s
NTU = number of transfer units
n = exponent
n̄ = reciprocal of NTU
p = pressure, Pa
Q = heat load, W
Q ′ = heat gain, W
q = heat load density, W/m2

r = radius or radial distance, m
R = diameter ratio
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Su = ultimate tensile stress, Pa
T = temperature, K
U = overall heat transfer coefficient, W/m2 · K
V = volume, m3

v = velocity, m/s
W = width or spacing, m
W e = Weber number
z = magnified density ratio
α = volume ratio or void fraction
β = volume ratio or conductivity ratio
� = region length ratio
γ = latent to sensible heat ratio or specific heat ratio
δ = thickness, m
ε = porosity, emittance, diameter ratio, or area ratio
ζ = pressure loss coefficient
η = efficiency, effectiveness, or normalized region length
λ = latent heat of vaporization, J/kg
µ = dynamic viscosity, Pa · s
ν = kinematic viscosity, m2/s
ρ = mass density, kg/m3

σ = surface tension, N/m
σ̄ = Stefan-Boltzmann constant, 5.6687 · 10−8 W/m2 · K4


 = temperature effectiveness
φ2 = two-phase friction factor multiplier
ϕ = cross-sectional area ratio
χ = vapor quality (dryness fraction)
ψ = averaged friction factor multiplier
ω = conduction parameter

Subscripts

Al = aluminum
a = ambient
ann = annular space
bayo = bayonet tube
c = capillary pore
cap = capillary
cont = contraction
cond = condenser
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dry = dry (not including coolant)
eff = effective
evap = evaporator
F = fin
FL = fluid line
fitt = fittings
grav = gravitational
H = pump head
h = heat transfer surface
in = inside
inv = inventory
L = liquid
LL = liquid line
l = saturated liquid
lch = liquid channel
lm = logarithmic mean
loop = fluid loop
out = outside
P = pump or plate
port = vapor exit port
R = radiation or radiator
r = radial
rad = radiator panel
res = reservoir (compensation chamber)
S = heat sink or radiative surface
sub = subcooling or subcooler
t = thermal infrared
V = vapor
VL = vapor line
v = saturated vapor
vch = vapor channel (grooves)
w = wick
wet = wet (including coolant)
wick = capillary wick
1φ = single-phase (subcooled)
2φ = two-phase (condensing)
⊥ = radially evaluated or thicknesswise

Superscripts

∗ = critical or design-specified
- = averaged or reference
, = differentiated or modified
(a) = active zone
(l) = liquid
(v) = vapor

Introduction

A S spacecraft mission requirements become more complex and
the equipment power density increasingly goes up, thermal de-

sign cases frequently occur where we are forced to replace traditional
heat pipes with innovative heat-transfer devices. This is because heat
pipes are essentially low in heat-transport capacity and permit no ar-
rangements other than parallel or cross lines. Most promising among
such innovative devices are CPLs (capillary pump loops)1 and LHPs
(loop heat pipes).2,3 The CPL, proposed by Stenger,4 has been de-
veloped in the United States and Europe, whereas the LHP, invented
by Maidanik et al.5 under the name of AGHP (antigravitational heat
pipe), has gained acceptance mainly in Russia. Both are alike in
operation principle and components layout. Each basically consists
of a capillary pump evaporator with reservoir and a condensing ra-
diator. They are connected to form a loop with small-diameter tubes
bendable at will, thereby permitting us to set up the radiator at a
specified position. Then, due to the employed microporous wicks,
both CPLs and LHPs can transport heat over long distances and
may produce a capillary pressure rise exceeding the gravitational
head. As pointed out by Nikitkin and Cullimore,6 a noticeable dif-
ference between CPLs and LHPs is the way of installing a two-phase
reservoir. In most CPLs, the reservoir is remotely connected with
the evaporator inlet through a plumb line and is usually heated be-
fore startup to assuredly maintain liquid in the wick. In contrast,

the reservoir in LHPs, initially called compensation chamber7 or
hydroaccumulator,2 may contain some wicks structurally connected
with the evaporator liquid-core portion. This capillary connection
gets the loop ready for start and thereby, unlike CPLs, LHPs need
neither preconditioning nor starter pumps. Thus, LHPs are inher-
ently passive and have advantages such as large permissible adverse
tilts, compliance with complicated layouts, and zonal separation
of heat acquisition and rejection. Such remarkable merits induced
Maidanik et al.7 and Wolf et al.8 to survey the prospects and poten-
tials of LHPs for space applications. As expected, the LHP technol-
ogy has become popular and is rapidly being accepted in spacecraft
thermal control. The LHPs flown with success are Alyona aboard
Granat9 in 1989, Obzor10 in 1994, Mars 9611 in 1996, LHPFX12

aboard STS-87 in 1997, and ALPHA13 aboard STS-83 and STS-94
in 1997. Also mentioned are LHPs for NASA’s GLAS,14 CNES’s
STENTOR,15 ESA’s COM2PLEX,16 and high-power communica-
tions satellites. It is then added that miniature,17 reversible,18 and
multiple evaporator19,20 LHPs have recently appeared as evolved
versions of classical ones.

Studies on operating characteristics of LHPs have naturally kept
pace with various development works stated above. First, Maidanik
et al.5,7 expressed the LHP working cycle in a pressure versus tem-
perature diagram and they7 derived a thermohydraulic relation from
there. That relation is also presented by Ku.21 Wolf and Bienert22

then investigated the temperature-control characteristics of LHPs
and found that the LHP could work in variable-conductance mode
at lower powers, whereas in fixed-conductance mode it worked at
higher loads. A graphical relation between the temperature and the
power thus becomes V-shaped, as mentioned by Sasin et al.23 and
Goncharov et al.24 Most test results21,25−27 give similar performance
curves. This distinctive feature, called autoregulation,22,25 results
from conductive coupling between the reservoir and the evaporator;
therefore, its rate can be a significant design parameter. LHPs are
self-starting devices but there still exist some conditions for reliable
startup. Baumann et al.28,29 extensively examined the effects of gas,
mass, and tilt on startups with analysis tools. Gluck et al.30 showed
that cold startups are not always successful. Ku et al.31,32 experi-
mentally studied low-power operations. Many attempts have been
made on the LHP modeling to have a better understanding of test
results. Bienert and Wolf33 took a lumped-parameter approach in
solving concurrent pressure and energy balances. Kaya and his co-
workers34,35 developed a mathematical model for steady-state anal-
ysis and experimentally validated it. Hoang and Kaya36 improved a
two-phase pressure-drop model for more precise predictions of the
LHP operating temperature. To accurately simulate the character-
istics, Wrenn et al.37 prepared a transient LHP model and verified
it by comparison of predicted and measured temperatures. For both
steady-state and transient analyses, Cullimore and Baumann38 de-
veloped a more detailed LHP model based on SINDA/FLUINT.
Pauken and Rodriguez39 applied that nodal network model to per-
formance predictions of ammonia- or propylene-filled LHPs and ex-
perimentally demonstrated its validity. Further demonstration was
done by Hoff and Rogers40 in SINDA/FLUINT model correlation.
Such computational models38−40 are thus acceptable for LHP ther-
mohydraulic state predictions.

Now, as easily seen, there can be two kinds of LHP models re-
sponding to the practically different purposes. All the models stated
above33−40 are of the first kind, in which the operating temperature is
not given in advance but uniquely determined. Models of the second
kind are such that the operating temperature is design-specified. This
shows that the first generally serves simulation purposes, whereas
the second is fitted for design or sizing problems. The latter should
therefore be analytical rather than computational in form. Analyti-
cally expressed LHP models are found in early research works23,41,42

but originally aimed at off-design state predictions, as done by the
author.43 Although heat and mass transfer analysis by Parker et al.44

and Hoang and Ku45 are helpful in preparing analytical models, al-
most no LHP models of our concern are available for the present.
This probably comes from the circumstance that design practices
mainly depend on manufacturers and the details of their methods
are usually not open to the public. It is finally expected that some
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Fig. 1 Schematic of a loop heat pipe.

efforts would again be made of LHP design studies. To come up to
such expectations, this study has been made with two objects. The
first is to offer all the expressions necessary in LHP analytical mod-
eling, most of which are newly obtained. The second is to provide
engineers and researchers with a straightforward method of LHP
design analysis.

Analytical Modeling
Figure 1 schematically shows a typical LHP consisting of an

evaporator, a condenser/subcooler/radiator, a compensation cham-
ber, hereafter called reservoir, and vapor and liquid transport lines.
As shown in the figure, the evaporator and the reservoir are made in
a body and contain wicks. Primary wick is laid to produce a capillary
pump head, whereas secondary wick makes a liquid link between
the evaporator and the reservoir. Wick pore sizes are thereby fine
in the primary but larger in the secondary. The reservoir always
holds two-phase fluid and controls the loop operating temperature.
The primary wick is usually cylindrically shaped to include a liq-
uid core, into which a bayonet tube is inserted, passing through the
reservoir. A liquid annulus is thus formed in the evaporator. The out-
side primary wick surface, mated with the inside casing surface, is
axially trimmed to become vapor grooves. The condenser/subcooler
and transport lines are then made of smooth-wall tubing. In most
cases, a flat-plate saddle is placed on the evaporator for thermally
uniform loading. As heat is applied to the saddle, vaporization oc-
curs in the evaporator, reducing the wick meniscus radius. Capillary
forces are developed there to fill up liquid. Generated vapor leaves
grooves and goes down to the condenser, where condensation and
subcooling are taken place to reject heat by the radiator. Subcooled
liquid then goes back to the evaporator. The LHP working cycle is
thus completed by a normal circulation of fluid.

Since the LHP primary wick is usually a relatively long thick-
walled cylinder, fluid and heat flow through there may be radially
one-dimensional. An energy equation for the problem therefore be-
comes such as shown in the literature23,44:

cplρl

(
vr

dT

dr

)
= keff

[
1

r

d

dr

(
r

dT

dr

)]
(1)

where r is the radial distance taken from the cylinder centerline,
T the wick local temperature, vr the fluid radial velocity, cpl the
liquid specific heat, ρl the liquid density, and keff the wick effective
conductivity. Considering the fluid flow passing over a cylindrical
surface situated at r , one finds the mass flow rate

ṁ = 2πr L (a)
evapρlvr (2)

where L (a)
evap is the evaporator active zone length. Equation (1) is

thereby reduced to

d

dr

(
r

dT

dr

)
= n̄

dT

dr
(3)

where n̄ is constant and expressed in

n̄ = ṁcpl

/
2π L (a)

evapkeff (4)

An analytical solution of Eq. (3), satisfying such boundary condi-
tions as T (rw in) = Tw in and T (rw out) = Tw out, is

(T − Tw in)/(Tw out − Tw in) = (
r n̄ − r n̄

w in

)/(
r n̄
w out − r n̄

w in

)
(5)

Solutions identical to Eq. (5) are given by Maidanik et al.41 and
Parker et al.44 The heat transfer across the wick, from rw out to rw in,
can be determined from

Kevap(Tw out − Tw in) = keff2πrw in L (a)
evapT ′(rw in) (6)

where Kevap is the evaporator radial conductance and T ′(rw in) the
temperature gradient at the wick inner surface. Due to Eq. (5), Eq. (6)
turns into

Kevap = ṁcpl

/(
Rn̄

w − 1
)

(7)

where Rw is the wick outside-to-inside-diameter ratio,

Rw = rw out/rw in = Dw out/Dw in (8)

Basically the same expressions as Eq. (7) are found in the
literature.44,46

Here, a concept of the number of transfer units is still available for
performance evaluation because the LHP evaporator can be regarded
as a heat exchanger. That number is generally defined in

NTUevap = Kevap/ṁcpl (9)

Substituting Eq. (7) into Eq. (9) gives

NTUevap = 1
/(

Rn̄
w − 1

)
(10)

Also derived from Eq. (6) is a practical expression for that conduc-
tance

Kevap = 2π L (a)
evapkeff (11)

Applying Eq. (4) to the product of Eqs. (9) and (11) makes

n̄NTUevap = 1 (12)

Owing to this relation, Eq. (10) simply becomes

Rn̄
w = 1 + n̄ (13)

The diameter ratio is therefore determined from

Rw = exp[NTUevap ln(1 + 1/NTUevap)] (14)

A performance index more convenient than NTUevap is the evapora-
tor temperature effectiveness, 
evap. A well-known formula relating
the two is


evap = 1 − exp(−NTUevap) (15)

This expression readily leads to

NTUevap = −ln(1 − 
evap) (16)

Because of the double-pipe construction of the LHP evaporator,
the wick inside diameter Dw in is expressed as

Dw in = Dbayo + Wann (17)
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The bayonet tube diameter is then

Dbayo = DLL (18a)

where DLL is the liquid line diameter. The Bond number of concern
depends on the annular spacing Wann formed between the cylindrical
wick and the inserted tube. A defining expression for that number
turns into

Wann = [
Bo∗σl

/
(ρl − ρv)g

] 1
2 (18b)

where Bo∗ is the critical Bond number for stable condensation, σl the
liquid surface tension, ρv the vapor density, and g the gravitational
acceleration. Such a value as Bo∗ ≤ 12 is derived from a relation,
Bo = W e/Fr , and critical Weber and Froude numbers, W e∗ ≤ 3 and
Fr∗ ≥ 0.25, found in the literature.47,48 The wick outside diameter
Dw out and the wick thickness δw are determined from

Dw out = Rw Dw in (19a)

δw = (Rw − 1)Dw in/2 (19b)

In proportion to the heat load Q, the evaporator length Levap is sized
as

Levap = Q/(Q/L)∗
evap (20)

For a saddled evaporator, the sizing parameter (Q/L)∗
evap is given

by

(Q/L)∗
evap = (

L (a)
/

L
)∗

evap
(W/D)∗

evap Dw outq (21)

where (L (a)/L)∗
evap is the active zone–to–total length ratio,

(W/D)∗
evap the saddle width–to–evaporator diameter ratio, and q

the heat-load density. Dimensions of the LHP evaporator can thus
be uniquely specified for a separately determined DLL value.

A loop pressure-loss estimate is now made to find a required
capillary pump head. The loop pressure loss �ploop, originated in a
layout shown in Fig. 1, is expressed in

�ploop = �pVL +�pLL +�pcond +�p(l)
evap +�p(v)

evap +�pport +�pfitt

(22)
where �pVL is the vapor-line loss, �pLL the liquid-line loss, �pcond

the condenser-tube loss, �p(l)
evap the evaporator liquid-channel loss,

�p(v)
evap the evaporator vapor-grooves loss, �pport the evaporator exit-

port loss, and �pfitt the evaporator/condenser-fitting loss. The line
and condenser losses are then estimated as

�pVL = (�pVL/LVL)∗LVL (23a)

�pLL = (�pLL/LLL)∗LLL (23b)

�pcond = (�pcond/Q)∗(Q + Q ′) (23c)

where LVL is the vapor-line length, LLL the liquid-line length, and
Q ′ the heat gain through the reservoir. In calculating Eqs. (23a–
23c), empirically accepted possible values will first be assigned to
the line pressure-loss gradients, (�pVL/LVL)∗ and (�pLL/LLL)∗,
and the condenser pressure-loss rate, (�pcond/Q)∗. The last four
terms of Eq. (22) are analytically expressed in

�pevap = �p(l)
evap + �p(v)

evap

=ζevap

(
64/π D4

bayo

)
(νl/λ)

[
Q2/(Q/L)∗

evap

]
(24a)

�pport = ζport Ma∗2γv pv

/
2 (24b)

�pfitt = (
ζ

(v)

fitt

/
ρv D4

VL + ζ
(l)
fitt ϕ

2
cond/LL

/
ρl D4

LL

)
(8/π2)(Q/λ)2 (24c)

where νl is the liquid kinematic viscosity, λ the latent heat of va-
porization, γv the vapor specific-heat ratio, and pv the vapor pres-
sure. Derived practical expressions for the pressure-loss coefficients,
ζevap, ζport, ζ

(v)

fitt , and ζ
(l)
fitt , are respectively given in Eqs. (A1a), (A2a),

(A3a), and (A4a) of Appendix A, the latter three of which are com-
monly expressed as Eq. (A5a). In deriving those coefficients, one
introduces Eqs. (A1b), (A2b), (A3b), and (A4b) to define the re-
lated cross-sectional area ratios. The factor ϕcond/LL in Eq. (24c),
defined in Eq. (A4b), shows a change of section at the condenser
exit. Equation (24b), including a squared Mach number, results from
the relation that the pressure loss is proportional to a square of the
vapor velocity. Because that speed is usually very low, we have
specified Ma∗ to be 1/1000εvch, where the factor εvch is defined in
Eq. (A2c). Considering the wick loss �pwick and the gravitational
loss �pgrav, the required capillary pump head �pcap is given by

�pcap = fH �ploop + �pwick + �pgrav (25)

where fH is the head factor showing a pump capacity margin. If
menisci formed on the outside wick surface fully draw back into the
capillary pores under a pressure balance expressed in Eq. (25), the
pump head then becomes

�pcap = 2σl/rc (26)

where rc is the capillary pore radius. Introducing the wick loss–to–
pump head ratio (�pwick/�pcap)

∗, one has

�pwick = (�pwick/�pcap)
∗�pcap (27)

Substituting Eqs. (26) and (27) into Eq. (25) gives

rc = 2σl

[
1 − (�pwick/�pcap)

∗]/( fH �ploop + �pgrav) (28)

A required wick pore radius can thus be found.
Applying the Darcy’s law to the wick-permeating liquid flow and

considering again Eq. (2), one obtains a radial pressure gradient
dp/dr . Integrating it over the range from rw in to rw out results in

�pwick = νl ṁ
/

2π L (a)
evap K p⊥ (29)

where K p⊥ differs from the wick characteristic permeability K p and
is defined in

K p⊥ = K p/ lnRw (30)

Equations (27) and (29) are combined to give

K p⊥ = νl ṁ
/

2π L (a)
evap(�pwick/�pcap)

∗�pcap (31)

Empirical expressions for K p are various, as shown in the
literature,49,50 but most of them are of the Blake–Kozeny form,

K p = r 2
c ε3

w

/
cw(1 − εw)n (32)

where εw is the wick porosity, n the exponent, and cw the constant.
Recommendable values cited from the literature are 1) n = 2 and
cw = 30.5 for fiber,49−51 2) n = 2 and cw = 37.5 for powder,49,50,52,53

and 3) n = 2 and cw = 43.2 for beads.54 Such values as n = 0 and
cw = 54 for foam are regressively obtained from Yip’s data.55 A
relation between K p and keff will be found in the following way.
Substituting Eq. (11) into Eq. (9) yields

keff = NTUevapṁcpl

/
2π L (a)

evap (33)

Dividing Eq. (33) by Eq. (31) yields

keff/K p⊥ = NTUevap(cpl/νl)(�pwick/�pcap)
∗�pcap (34)

Equation (30) is then intentionally rewritten as

keff

/(
K p/r 2

c

) = (keff/K p⊥)r 2
c

/
lnRw (35)

It should be noted that the right-hand side of Eq. (35) de-
pends on 
evap, (�pwick/�pcap)

∗, and fH and is calculated from
Eqs. (14), (28), and (34). Empirical expressions of keff, found in
the literatue,49,50,56−58 are summarized in Appendix B. Employed
are Eq. (B1a) for mesh/screen,49,50,56 Eq. (B1b) for sintered fiber,57
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Eq. (B2a) for powder,50,56 Eq. (B2b) for sintered powder,57 Eq. (B3)
for beads,49 and Eq. (B4) for foam.58 A required wick porosity can
thus be calculated from Eq. (35) with Eq. (32) and a most suitable
expression in Appendix B.

Then, as seen from the pressure-versus-temperature diagram,21

there exist three saturation states in an LHP. They are found in the
condenser, the evaporator, and the reservoir, but attention is directed
to states in the latter two. Taking notice of the liquid pressure pl , one
finds such relations as pevap = pl + �pcap and pres = pl + �pwick un-
der the design condition. A pressure differential between the evap-
orator and the reservoir therefore becomes �pcap − �pwick. This
causes a slight temperature difference in the secondary wick,

�Twick = (�pcap − �pwick)T ′
v(pv) (36)

where T ′
v(pv) is the p–T curve slope viewed from the pressure axis.

Equation (36) is basically the same as given by Kaya et al.34 and
Kaya and Hoang35 but, due to Eq. (25), the expression becomes

�Twick = ( fH �ploop + �pgrav)/p′
v(Tv) (37)

where p′
v(Tv), a reciprocal of T ′

v(pv), is the p–T curve slope eval-
uated at the vapor temperature Tv and can be calculated from the
Clausius–Clapeyron equation. In steady states, most of the imposed
heat Q can be removed from the evaporaror by phase change of
the coolant, but part of it will be leaked out to the reservoir. One
therefore obtains

Q = ṁ(λ + cpl�Twick) (38)

The heat inflow or outflow through the reservoir, examined by Ku,21

Wrenn et al.,37 and Hoang and Ku,45 is also considered in a system
energy balance. This heat gain or loss is approximately given by

Q ′ = Kaw(Ta − Tv) (39)

where Kaw is the thermal conductance between the environment and
the secondary wick and Ta the ambient temperature. Equation (39)
becomes negative if Ta < Tv but we put Q ′ zero in such cases. This
comes from the design philosophy that condensers and radiators
should be somewhat oversized. As discussed by Parker et al.,44 the
subcooling is still necessary because the heat gain Q ′ should be
absorbed by the return liquid. That relation is expressed in

Q ′ = ṁcpl�Tsub (40)

where �Tsub is the degree of subcooling. Dividing Eq. (40) by
Eq. (38) gives

�Tsub = (Q ′/Q)(λ/cpl + �Twick) (41)

The latent-to-sensible heat ratio then becomes

γ = λ/cpl�Tsub (42)

When regarding the LHP as a thermal pump, one finds that the heat
input amounts to Q + Q ′ but used for pumping is ṁλ. The pumping
efficiency is thereby defined in

ηP = ṁλ/(Q + Q ′) (43)

Substituting Eqs. (38) and (40) into Eq. (43) results in

ηP = γ /(γ + 1 + �Twick/�Tsub) (44)

Supposing that the flow is turbulent in the vapor line but laminar
in the liquid line and characterizing that by the Colburn friction
factor expression, one obtains

�pVL = (1.12/π1.8)
(
µ0.2

v

/
ρv

)(
LVL

/
D4.8

VL

)
ṁ1.8 (45a)

�pLL = (128/π)νl

(
LLL

/
D4

LL

)
ṁ (45b)

where µv is the vapor dynamic viscosity and DVL the vapor line
diameter. The mass flow rate ṁ is simply derived from Eq. (38) to
become

ṁ = Q/(λ + cpl�Twick) ≈ Q/λ (46)

Applying Eq. (46) to Eqs. (45a) and (45b) yields

DVL = [
(1.12/π1.8)

(
µ0.2

v

/
ρvλ

1.8
)

Q1.8
/

(�pVL/LVL)∗]0.208
(47a)

DLL = 2
[
(8/π)(νl/λ)Q

/
(�pLL/LLL)∗] 1

4 (47b)

The bayonet tube diameter, specified in Eq. (18a), can thus be de-
termined from Eq. (47b). Equations (47a) and (47b) are also used
in condenser tube diameter and length sizing. To develop a practi-
cal way of sizing, one employs a two-region model consisting of a
condensing vapor section and a subcooled liquid section. The nor-
malized dimensionless lengths, η2φ and η1φ , are then introduced to
define an extent of the two-phase region and that of the single-phase
region. The heat is rejected at the rate of ṁλ from the region of
η2φ but at the rate of ṁcpl�Tsub from the region of η1φ . Because the
axial heat rejection can be equal to the radial heat transfer from the
working fluid to the condenser tube, one finds

ṁλ = η2φ AhU2φ(�T⊥ + �Tsub) (48a)

ṁcpl�Tsub = η1φ AhU1φ�Tlm (48b)

where Ah is the heat transfer surface area, U2φ the overall heat
transfer coefficient of the active condenser section, U1φ that of the
subcooler section, �T⊥ the exit liquid to radiator temperature differ-
ence, and �Tlm the logarithmic mean temperature difference. Those
differences depend on �Tsub and are expressed in

�T⊥ = �Tsub/
sub (49a)

�Tlm = �Tsub/ ln(1 + 
sub) (49b)

where 
sub is the subcooler temperature effectiveness. Because U2φ

and U1φ may respectively regarded as the film coefficients, h2φ and
h1φ , of the two- and single-phase heat transfer, the ratio U2φ/U1φ is
approximated as

U2φ/U1φ ≈ h2φ/h1φ = F̄ (50)

The averaged two-phase heat transfer coefficient multiplier F̄ is
calculated from Eq. (A7b) with Eq. (A6b). Dividing Eq. (48a) by
Eq. (48b) gives the dimensionless length ratio. Due to Eqs. (49a),
(49b), and (50), that ratio simply becomes

� = η2φ/η1φ = γ
sub/F̄(1 + 
sub) ln(1 + 
sub) (51)

It follows that

η2φ = �/(� + 1) (52a)

η1φ = 1/(� + 1) (52b)

A requirement that DVL be larger than DLL leads to the relation
DVL > Dcond > DLL. The condenser tube diameter is therefore spec-
ified in

Dcond = η2φ DVL + η1φ DLL (53)

The two-region model is also used to evaluate the active condenser
loss and the subcooler loss. The sum of the two gives the total
condenser loss,

�pcond = ψη2φ�p(v)

cond + η1φ�p(l)
cond (54a)

where ψ is the averaged two-phase friction factor multiplier and is
calculated from Eq. (A8b). Since �p(v)

cond and �p(l)
cond are respectively
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the same as Eqs. (45a) and (45b) in form and Eq. (46) holds, the
vapor-to-liquid region loss ratio results in

�p(v)

cond

/
�p(l)

cond = (1.12/128π0.8)
(
µ0.2

v

/
ρvνlλ

0.8
)

Q0.8
/

D0.8
cond

(54b)

Recalling that (�pcond/Q)∗ and (�pLL/LLL)∗ are design-specified
and the required heat rejection amounts to Q + Q ′, one has

�pcond

/
�pLL = [

(�pcond/Q)∗/(�pLL/LLL)∗](Q + Q ′)/LLL

(55a)

Considering Eq. (45b), the similarity between �p(l)
cond and �pLL

gives

�p(l)
cond

/
�pLL = (Lcond/LLL)/(Dcond/DLL)4 (55b)

As regards �pcond/�p(l)
cond, the expression is derived from Eq. (54a)

and also from Eqs. (55a) and (55b). Equating those two yields the
required total condenser length,

Lcond = [
(�pcond/Q)∗/(�pLL/LLL)∗](Dcond/DLL)4

· (Q + Q ′)
/(

ψη2φ�p(v)

cond

/
�p(l)

cond + η1φ

)
(56)

One can thus calculate the condenser volume Vcond from Eqs. (53)
and (56), the vapor-line volume VVL from Eq. (47a), and the liquid-
line volume VLL from Eqs. (47b). The required reservoir volume Vres

depends on the liquid swing volume, because the condenser and the
vapor line are completely flooded under cold cases but never flooded
under hot cases. Then, as mentioned by Ku21 and Mishkinis et al.,59

some liquid must remain in the reservoir at cold start, and some
vapor must be left over there at hot start. Because the volumetric
fluid inventory Vinv may practically be conserved, such requirements
are written as

Vinv = V (l)
evap + Vcond + VVL + VLL + αL Vres at cold start

(57a)

Vinv = V (l)
evap + VLL + (1 − βV )Vres at hot start (57b)

where V (l)
evap is the evaporator liquid channel volume, αL the fill-up

fraction of reservoir volume, and βV the void fraction of it. Equa-
tions (57a) and (57b) are reduced to

Vres = (Vcond + VVL)/(1 − αL − βV ) (58)

If αL = βV = 0.1, Eqs. (57b) and (58) then become

Vinv = V (l)
evap + VLL + 0.9Vres (59a)

Vres = 1.25(Vcond + VVL) (59b)

As regards reservoir diameter and length sizing, no definite ways
are found in the literature. Our proposed way is

Dres = (4Vres/π)
1
3 (60a)

L res = Dres (60b)

Equations (60a) and (60b) minimize the total surface area of a
volume-fixed cylinder. Because the reservoir is exposed to surround-
ings and is connected with the secondary wick, the conductance Kaw ,
introduced in Eq. (39) to define Q ′, is expressed in

Kaw = 1/(1/Ka/res + 1/Kres/w) (61)

Practical expressions for Ka/res and Kres/w are

Ka/res = K̄a/res(Vres/V̄res)
2
3 (62a)

Kres/w = K̄res/w

[
D2

w out

/
(Levap + L res)

]/[
D̄2

w out

/
(L̄evap + L̄ res)

]
(62b)

where the superscript macron denotes a reference value. From ex-
perimental data by Mulholland et al.,60 the reference values become
such that K̄a/res = 0.10 W/K, K̄res/w = 4.63 W/K, V̄res = 200 cm3,
and D̄2

w out/(L̄evap + L̄ res) = 0.68 mm.
Attention is now directed to radiator panel sizing. The radiator

temperature TR is not exactly uniform but may be replaced with the
fin root temperature evaluated at the condenser exit, where the ra-
dial temperature difference comes up to �Tsub + �T⊥. Substituting
Eq. (49a) for �T⊥ and taking Tv for the saturated liquid temperature,
one finds

TR = Tv − (1 + 1/
sub)�Tsub (63)

For a specified sink temperature TS , the radiator surface area AR is
determined from

AR = (Q + Q ′)/ηSηF hS(TR − TS) (64)

where ηS is the surface effectiveness, one-sided or both-sided, ηF

the fin effectiveness, and hS the radiative heat-transfer coefficient.
The fourth-power law of radiation then gives

hS = εt σ̄ (TR + TS)
(
T 2

R + T 2
S

)
(65)

where εt is the surface infrared emittance and σ̄ the Stefan–
Boltzmann constant. A well-known formula for ηF of a rectangu-
larly shaped fin is

ηF = tanh ωF/ωF (66)

whereωF is the fin conduction parameter. A computational inversion
of Eq. (66) is given in Eq. (A9), by which one can readily convert
ηF into ωF . Upon Eqs. (56) and (64), the feeder half spacing WF is
calculated from

WF = AR/2Lcond (67)

An expression for ωF is obtained from a solution of the linearized
radiative–conductive fin equation. That expression is squared to
become

kRδR = ηShS(WF/ωF )2 (68)

where kR is the fin thermal conductivity and δR the fin thickness.
The product kRδR then shows a required fin thermal conductance.
Because engineers are interested in weight as well as dimensions,
an LHP mass model is presented in Appendix C for reference.

Numerical Results and Discussion
A design code based on the above-stated analytical modeling

has been developed for an LHP of basic configuration. The LHP
can thus be computationally sized if Q, Tv , TS , Ta , LVL, and LLL are
given as design conditions. Modeling parameter values employed in
this study are such that 
evap = 0.90, Bo∗ = 10.0, ϕvch/VL = 0.833,
q = 10.0 kW/m2, (L (a)/L)∗

evap = 1.0, (W/D)∗
evap = 4.0, fH = 10.0,

(�pwick/�pcap)
∗ = 0.60, 
sub = 0.90, ηF = 0.90, εt = 0.85,

(�pcond/Q)∗ = 1.0 Pa/W, (�pVL/LVL)∗ = 40.0 Pa/m, (�pLL/
LLL)∗ = 10.0 Pa/m, and �pgrav/ρl g = 0.10 m. Then, unless oth-
erwise specified, computations have been done under the con-
dition that TS = 43 K, Ta = 313 K, and LVL = LLL = 3.0 m. An
ammonia-filled titanium-powder-wicked LHP with both-sided radi-
ator is taken as an object of parametric design calculations because
it is a popular type. Numerical results of the calculations are graphi-
cally shown in the figures to provide us with practical design curves.
Every figure includes two groups of curves to compactly show the
results. The bold-lined curves are drawn against the left ordinate
while the fine-lined ones are drawn against the right ordinate.

Because LHPs are usually planned for a specified combination
of Q and Tv , Figs. 2–7 take Q as the abscissa, ranging from 0 W
to 800 W, and Tv as the curve-identifying parameter, covering an
extent from 273 K to 333 K in 10 K step. Displayed in Fig. 2 are the
required capillary pore radius rc and the desired wick porosity εw .
As expected, Fig. 2 shows that fine-pored highly porous wicks are
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Fig. 2 Capillary pore radius and wick porosity versus heat load:
#B/F1: Tv = 273 K, #B/F2: Tv = 283 K, . . . , #B/F7: Tv = 333 K in 10-K
steps.

Fig. 3 Bayonet tube diameter and wick inside diameter versus heat
load: #B/F1: Tv = 273 K, #B/F2: Tv = 283 K, . . . , #B/F7: Tv = 333 K in
10-K steps.

Fig. 4 Wick thickness and evaporator length versus heat load: #B/F1:
Tv = 273 K, #B/F2: Tv = 283 K, . . . , #B/F7: Tv = 333 K in 10-K steps.

Fig. 5 Vapor-to-liquid channel cross-sectional area ratio and reservoir
volume versus heat load: #B/F1: Tv = 273 K, #B/F2: Tv = 283 K, . . . ,
#B/F7: Tv = 333 K in 10-K steps.

Fig. 6 Condenser tube diameter and length versus heat load: #B/F1:
Tv = 273 K, #B/F2: Tv = 283 K, . . . , #B/F7: Tv = 333 K in 10-K steps.

more required as Q increases and Tv goes up. For the typical design
point Q = 300 W and Tv = 308 K, one can see from curves B4/5
and F4/5 in Fig. 2 that rc = 2.85 µm and εw = 0.354. Our developed
wicks are such that rc = 1.6 µm to 3.2 µm and εw = 0.33. Figures 3
and 4 specify radial/axial dimensions of an LHP. Displayed in Fig. 3
are the bayonet tube diameter Dbayo and the wick inside diameter
Dwin, whereas Fig. 4 shows the wick thickness δw and the evaporator
length Levap. It is seen from Figs. 3 and 4 that the required radial
size becomes greater as Q increases and Tv decreases. Figure 4 then
shows that Levap almost linearly changes with Q and Tv . This results
from Eqs. (19a), (20), and (21). Curves B4/5 and F4/5 in Figs. 3 and
4 indicate that Dbayo = 4.0 mm, Dwin = 9.7 mm, δw = 6.3 mm, and
Levap = 0.34 m when Q = 300 W and Tv = 308 K.

Also required in the LHP evaporator design are the vapor-to-
liquid-channel cross-sectional area ratio εvch and the reservoir vol-
ume Vres. Figure 5 is used to find a suitable pair of these; for instance,
εvch = 0.38 and Vres = 0.22 l when Q = 300 W and Tv = 308 K. Due
to Eqs. (47a) and (47b), curves in Fig. 5 show the trend that εvch and
Vres grow larger with a rise of Q and a fall of Tv . Figure 6, arranged for
the LHP condencer design, gives a well-suited tube diameter Dcond

and a required total tube length Lcond. Such values as Dcond = 5.4 mm
and Lcond = 4.6 m are obtained from curves B4/5 and F4/5 in Fig. 6
when Q = 300 W and Tv = 308 K. A rising trend of curves in the
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Fig. 7 Heat gain and degree of subcooling versus heat load: #B/F1:
Tv = 273 K, #B/F2: Tv = 283 K, . . . , #B/F7: Tv = 333 K in 10-K steps.

Fig. 8 Capillary pore radius and wick porosity versus vapor/liquid
line length: #B/F1: Q = 50 W; #B/F2: Q = 100 W, . . . , #B/F7: Q = 600 W
in 100-W steps, #B/F8: Q = 800 W.

figure originates in Eqs. (53) and (56). Figure 7 shows the estimated
heat gain Q ′ and the required degree of subcooling �Tsub. One
can find Q ′ from curves B1–4 and �Tsub from curves F1–4 when
Tv < Ta . Because the LHP is modeled as Q ′ = 0 if Tv ≥ Ta , curves
B5–7 and F5–7 are not exposed in the figure. Any of Q ′ and �Tsub

thus depends on Tv . Those inferred from curves B1/4 and F1/4 in
Fig. 7 are such that Q ′ = 6.2 W and �Tsub = 5.6 K when Q = 300 W
and Tv = 273 K, whereas Q ′ = 1.1 W and �Tsub = 0.88 K when
Q = 300 W and Tv = 303 K.

To specify wick characteristics, Figs. 8 and 9 display rc and εw

in a way different from Fig. 2. Taken as the abscissa is not Q but
LFL/2, that is, the vapor/liquid line length sized as half of the total
fluid line length, ranging from 0.0 m to 8.0 m. Curves in Fig. 8 are
identified with the heat load Q, taking such values as 50 W, 100 W,
. . . , 600 W, or 800 W. Here, the vapor temperature Tv is evenly
fixed as 303 K. Curves B1/8 and F1/8 in Fig. 8 indicate that possible
ranges of rc and εw are from 11.3 µm and 0.26 to 3.0 µm and
0.35 when Q = 50 W, but from 1.7 µm and 0.39 to 1.2 µm and 0.42
when Q = 800 W. Figure 9 then shows the required rc and desired εw

values for eight kinds of wicks of interest. Considered are nickel or
titanium as materials and fiber, powder, beads, or foam in structural
form. All the curves in Fig. 9 are applicable to an LHP specified as
Q = 300 W and Tv = 313 K. It is natural that rc is independent of the

Fig. 9 Capillary pore radius and wick porosity versus vapor/liquid line
length: NI/TIFI: Ni/Ti fiber, NI/TIPW: Ni/Ti powder, NI/TIBD: Ni/Ti
beads, NI/TIFO: Ni/Ti foam.

Fig. 10 Bayonet tube diameter and wick inside diameter versus va-
por temperature: #B/F1: Q = 50 W; #B/F2: Q = 100 W, . . . , #B/F7: Q =
600 W in 100-W steps, #B/F8: Q = 800 W.

wick type but εw considerably depends on it. A possible conclusion
derived from curves NIPW/TIPW and NIFI/TIFI in Fig. 9 is that
higher porosities are required for powdered than for fibered wicks.

There are some cases where taking Tv in place of Q as the main
variable is convenient on the practical side of design. Figures 3–5
are then replaced with Figs. 10–12; where Tv is taken as the ab-
scissa, ranging from 273 to 333 K, and Q as the curve-identifying
parameter. Employed parameter values are the same as in Fig. 8.
When making a rough estimate of the LHP size, one may graph-
ically determine Dbayo and Dwin from Fig. 10, δw and Levap from
Fig. 11, and εvch and Vres from Fig. 12. At the primary wick design,
a significant sizing parameter will be 
evap, because δw and Levap

depend on Rw in a way defined in Eq. (19b) and Eqs. (19a),(20),
and (21). Figure 13 therefore displays δw and Levap as functions
of 
evap over a possible range from 0.78 to 0.98. Curves are then
drawn under the condition that Q = 50 W, 100 W, . . . , or 500 W and
Tv = 313 K. Two groups of curves in Fig. 13 show that making wicks
thicker but slightly shorter is required for higher 
evap values and
that both δw and Levap naturally increase as Q goes up. Considering
the case where Q = 300 W in Fig. 13, one can see from curve B4
that δw = 5.5 mm to 6.8 mm and from curve F4 that Levap = 0.37 m
to 0.32 m.



FURUKAWA 119

Fig. 11 Wick thickness and evaporator length versus vapor temper-
ature: #B/F1: Q = 50 W; #B/F2: Q = 100 W, . . . , #B/F7: Q = 600 W in
100-W steps, #B/F8: Q = 800 W.

Fig. 12 Vapor-to-liquid channel cross-sectional area ratio and reser-
voir valume versus vapor temperature: #B/F1: Q = 50 W; #B/F2:
Q = 100 W, . . . , #B/F7: Q = 600 W in 100-W steps, #B/F8: Q = 800 W.

Fig. 13 Wick thickness and evaporator length versus evaporator tem-
perature effectiveness: #B/F1: Q = 50 W; #B/F2: Q = 100 W, . . . , #B/F6:
Q = 500 W in 100-W steps.

Fig. 14 Degree of subcooling and pump efficiency versus ambient tem-
perature: #B/F1: Tv = 283 K, #B/F2: Tv = 293 K, . . . , #B/F6: Tv = 333 K
in 10-K steps.

Fig. 15 Condenser tube diameter and length versus ambient temper-
ature: #B/F1: Tv = 283 K, #B/F2: Tv = 293 K, . . . , #B/F6: Tv = 333 K in
10-K steps.

Because an LHP gains heat at the rate calculated from Eq. (39), it
can be of critical importance to comprehend an effect of the ambient
temperature on the LHP design. A degree of such effects, evaluated
under the condition that Q = 300 W and Tv = 283 K, 293 K, . . . ,
or 333 K, is conceptually shown in Figs. 14 and 15; where curves
are drawn against Ta extending over a range from 283 to 323 K.
Displayed in Fig. 14 are the required degree of subcooling �Tsub and
the resulting pump efficiency ηP . It is seen from Fig. 14 that �Tsub

increases while ηP decreases as Ta goes up and as Tv goes down.
Also seen from the figure is that �Tsub = 0.0 K when Tv = 323 K or
333 K. This is due to a computational model that Q ′ = 0 if Tv ≥ Ta .
Figure 15 then displays the required condenser tube diameter Dcond

and the required total condenser length Lcond. Disclosed in Fig. 15
is that both Dcond and Lcond decrease with the rise of Ta and Tv . This
downward tendency results from diameter sizing such that Eqs. (42),
(51), (52a), (52b), and (53) make Dcond/DLL smaller when �Tsub

becomes larger. However, because of the term Q + Q ′ in Eq. (56),
an upward tendency in Lcond might appear in cases where the heat
gain is considerably larger than our estimate.

Conclusion
This study introduced a novel concept to characterize the LHP

evaporator/condenser. That concept, expressed in terms of the
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temperature effectiveness, was applied to analytical modeling of an
LHP of standard composition. A computationally straightforward
method of the LHP design has thus been mathematically formulated
to develop a design code, enabling us to specify key components
of an LHP in a consistent way. That code, applicable to four kinds
of wicks, has no particular restrictions in actual use. A number of
curves obtained as a result of parametric design calculations are
serviceable for wick/evaporator/reservoir/condenser sizing.

Appendix A: Coefficients Expressions

ζevap = 2
[
1 + (νv/νl)(DLL/DVL)4ϕ2

vch/VL

]

+ ε4
ann

/(
1 − ε2

ann

)[
1 + ε2

ann + (
1 − ε2

ann

)/
ln εann

]
(A1a)

εann = Dbayo/Dw in (A1b)

ζport = ζcont(ϕvch/VL) (A2a)

ϕvch/VL = AVL/Avch < 1 (A2b)

εvch = Avch/Alch = (DVL/Dw in)
2
/

ϕvch/VL (A2c)

ζ
(v)

fitt = ζcont(ϕVL/cond) (A3a)

ϕVL/cond = (Dcond/DVL)2 < 1 (A3b)

ζ
(l)
fitt = ζcont(ϕcond/LL) (A4a)

ϕcond/LL = (DLL/Dcond)
2 < 1 (A4b)

ζcont = (1 − 1/ϕ′)2 (A5a)

ϕ′ = 0.5587 + 0.5368ϕ − 1.191ϕ2 + 1.080ϕ3 (A5b)

α = 1
/{

1 + [(1 − χ)/χ ](ρv/ρl)
2
3
}

(A6a)

z = 10ρv/ρl (A6b)

F = 1.5[(1 − χ)/(1 − α)]0.8 (A7a)

F̄ =
∫ 1

0

F dχ = 150
(
0.71964 − 3.6097z

1
3 + 7.4174z

2
3

− 6.8659z + 2.3621z
4
3
)

(A7b)

φ2
v = [1 + 75(1 − α)]/α2.5 (A8a)

ψ =
∫ 1

0

φ2
vχ

1.8 dχ = −0.075512 + 3.6785z
1
3

− 6.8404z
2
3 + 10.414z (A8b)

ωF = 7.0734 − 18.182ηF + 20.177η2
F − 8.8839η3

F (A9)

Note: Expressions of (A1a), (A6b), (A7a), and (A8a) are originally
given in the literature 61–64.

Appendix B: Effective Conductivity

keff = kl [1 + βlw + (1 − εw)(1 − βlw)]/

[1 + βlw − (1 − εw)(1 − βlw)] (B1a)

keff = klβ
−0.34(1−εw)

lw (B1b)

keff = kw[2 + βlw − 2εw(1 − βlw)]/[2 + βlw + εw(1 − βlw)] (B2a)

keff = klβ
−0.53(1 − εw)

lw (B2b)

keff = kl [1 + 2βlw + 2(1 − εw)(1 − βlw)]/

[1 + 2βlw − (1 − εw)(1 − βlw)] (B3)

keff = kw[0.35(εwβlw + 1 − εw) + 0.65/(εw/βlw + 1 − εw)] (B4)

βlw = kl/kw (B5)

Appendix C: Mass Model

mevap = [
(W/D)∗2

evap − 0.785
]
ρevap D2

w out

+ 0.785ρw

(
D2

w out − D2
w in

)
(C1a)

mcond = 0.524ρcond D2
cond(Su Al/Su cond) (C1b)

mVL = 0.524ρFL D2
VL(Su Al/Su FL) (C1c)

mLL = 0.524ρFL D2
LL(Su Al/Su FL) (C1d)

Mevap = mevap Levap (C2a)

Mcond = mcond Lcond (C2b)

MFL = mVL LVL + mLL LLL (C2c)

Mres = 0.524ρres D2
res(L res + Dres/2)(Su Al/Su res) (C2d)

Mrad = ρRδR AR (C2e)

Mdry = Mevap + Mres + Mcond + Mrad + MFL (C3a)

Mwet = Mdry + ρl Vinv (C3b)
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